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Residual Stresses in Thermal Spray Coatings
and Their Effect on Interfacial Adhesion:

A Review of Recent Work

T.W. Clyne and S.C. Gill

An overview is presented of the development of residual stresses in thermal spray coatings and their ef-
fects on interfacial debonding. The main experimental techniques for measurement of residual stresses
are briefly described, with particular attention given to the method of continuous curvature monitoring.
Boundary conditions satisfied by all residual stress distributions are identified and expressions derived
for the curvatures and stress distributions arising from a uniform misfit strain between coating and sub-
strate. It is noted that stress distributions in thick coatings rarely correspond to the imposition of such a
uniform misfit strain, so that recourse to numerical methods becomes essential for quantitative predic-
tion of stress distributions. Relationships are presented between residual stresses and corresponding
strain energy release rates during interfacial debonding. The effect on this of superimposing stresses
from an externally applied load is outlined. The initiation of debonding is then considered, covering edge
effects and other geometrical considerations. Finally, some specific case histories are briefly outlined to

illustrate how the various theoretical concepts involved relate to industrial practice.

Keywords adhesion, debonding, interfacial toughness, residual
stresses, strain energy release rate

1. Introduction

IT 1S WIDELY recognized that residual stresses in thermally
sprayed coatings are highly significant in practical terms. How-
ever, although recently there have been important advances in
understanding how these stresses arise and how they can influ-
ence the performance of a coating, industrial development and
optimization of spraying procedures is still largely carried out
with, at best, only qualitative account taken of their nature and
role. In many cases, such development remains entirely empiri-
cal, with regard to control over residual stresses, and thus ineffi-
cient.

Considerable efforts have been made in recent years to un-
derstand and predict the residual stresses that develop during the
production of thermally sprayed coatings. In most cases, it can
be assumed that stresses in the through-thickness direction are
negligible and that the stresses are the same in all directions
within the plane of the coating. A single stress value thus charac-
terizes the stress state at any given depth below the free surface.
However, establishing the stress state is generally more complex
for a sprayed coating than for (thin) films deposited by atomistic
processes, since sprayed coatings are considerably thicker and
variations in stress level with depth are often significant.

Many recent studies have focused on measurement (Ref 1-7)
of residual stresses and modeling (Ref 8-13) of their develop-
ment during spraying. However, in very few studies have reli-
able correlations been established among process conditions,
measured stress levels, and indicators of coating performance.
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In addition, agreement between measurements made on nomi-
nally similar coatings using different methods, or indeed by dif-
ferent workers using the same methods, has often been poor.
This has been partly a consequence of uncertainties about the
depth at which the stress is being measured and the likelihood of
significant variations in stress level with depth. Confusion can
also be caused by use of inappropriate thermophysical property
data, notably the coating stiffness, which often differs substan-
tially from handbook values and should be measured directly
(Ref 14, 15).

This paper presents an overview of residual stresses associ-
ated with thermally sprayed coatings. Since inconsistencies
often arise between quoted experimental values, consideration
is first given to the techniques most commonly used to measure
residual stresses. This is followed by an outline of the origin of
residual stresses. Attention is then concentrated on the relation-
ship between residual stresses and the interfacial adhesion be-
tween coating and substrate. Finally, the industrial significance
of these concepts is highlighted by describing and interpreting
several illustrative case histories.

2. Measurement of Residual Stresses

Three main types of method are commonly used to investi-
gate residual stresses in sprayed coatings. The most direct of
these involves measurement of the spacing of selected lattice
planes in a crystalline structure using an x-ray beam. Although
this could in principle be carried out while a coating was being
deposited, in practice the experimental requirements of the
method are such that it is virtually impossible during thermal
spraying. This also tends to be the case for beam analysis tech-
niques in which the nature of the reflected beam, rather than its
direction, is used to deduce the stress level. Such methods in-
clude Raman spectroscopy, which has been used (Ref 16) to
measure stresses in chemical vapor deposition films, but has not
yet been widely applied to sprayed coatings.
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Symbols

a(m) half-crack length L (m) length of substrate or span between inner
b(m) width of specimen loading points (Fig. 12)
B dimensionless constant (Eq 23) M(N-m) bending moment
C (m/N) specimen compliance P(N) force
E (Pa) Young’s modulus o (W/m?)  incident heat flux
E’ (Pa) effective Young’s modulus s (m) moment span (Fig. 12)
G (J/mz) strain energy release rate u (m) displacement
h (m) deposit thickness x (m) distance along the length of the beam
H(m) substrate thickness y (m) distance, relative to the neutral axis, through
K (Pavm)  stress-intensity factor the thickness of the beam
K (W/m - K) thermal conductivity z(m) distance through the width of the beam
Greek symbols

a K™ thermal expansivity k@) curvature in x-y plane
o Dundurs parameter (Eq 24) Ak (m™h) change in curvature on debonding
8 (m) displacement of neutral axis from interface v Poisson ratio
Y dimensionless constant (Eq 10) W dimensionless constant (Eq 10)
T ratio of shear moduli (Eq 10) v phase angle of complex stress-intensity fac-
€ strain tor
Age misfit strain (between stress-free dimensions o (Pa) stress

of substrate and deposit) Z(Pa- m4) flexural stiffness (of a beam)

Subscripts

B bifurcation p,t, pr type of strain energy release rate; p is due to
c critical value the applied load only, r is due to the residual
d,s,c deposit, substrate, and composite parts of the stress only, and pr is due to both.

specimen, respectively xy,2 orthogonal directions: x is parallel to the di-
i interfacial rection of crack propagation, y is normal to

the plane of the crack, and z is parallel to the
crack front.

The remaining methods do not depend on direct sensing of
the strain between lattice planes or individual atoms, but rather
involve detecting macroscopic shape changes that arise as a con-
sequence of the stresses. These can be divided into material re-
moval methods, in which changes in in-plane strain are
measured (usvally via strain gages) while nearby parts of the
specimen are physically removed, and curvature methods, in
which surface curvatures are monitored. In both cases, measure-
ment is straightforward, but interpretation of the data to obtain
stress distributions may be more complex. Curvature monitor-
ing has the important advantage of being nondestructive and ap-
plicable while deposition is taking place.

2.1 Diffraction Methods

The most popular method for direct measurement of residual
stresses is monitoring of the shift of selected x-ray diffraction
(XRD) peaks (Ref 1, 3-5, 9, 12, 17). The principle is depicted
schematically in Fig. 1. The method is applicable only to mate-
rials with well-defined crystal structures and becomes difficult
(as a result of peak broadening) when the grain size is very fine
or if unpredictable variations in composition are likely to occur.
The lattice strain is obtained from the shift of an Akl peak, when
compared with that for a corresponding unstrained specimen.
Although the lattice strain, and hence stress, in a selected in-
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plane (x) direction can in principle be estimated via the Bragg
equation from a single measurement, it is more accurate o ex-
amine the variation in peak shift as a function of @, the angle be-
tween the normal to the coating surface (y-direction) and the
normal to the diffracting planes (which lies in the x-y plane). The
stress can then be obtained from

E 1 ad
- - (Eql
R P d(asinch) )
mkl 0

where d is the measured interplanar spacing and d is the value
for an unstrained sample. The Young’s modulus, E, and Pois-
son’s ratio, v, for the hkl planes must be accurately known. In
general, these are best obtained by experimental measurement,
using a sample with a known stress state.

A number of difficulties arises from the limited penetration
depth of x-rays through most coating materials of interest; typi-
cally, this is approximately 10 to 50 pm, depending on the
source wavelength and coating material. First, this places a limi-
tation on the range of ¢, since large values would require the in-
cident x-ray beam to penetrate through appreciable thicknesses
of coating and/or substrate. Second, the penetration depth is usu-
ally no greater than the surface roughness of as-sprayed coat-
ings. Thus, strains are being measured within a region that is
subject to substantial stress relaxation, associated with the free
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surfaces inclined to the coating plane. Further errors arise from
variations in the stress level with depth. Attempts to explore this
by successive layer-removal techniques (Ref 5) present prob-
lems, since such removal itself changes the stress distribution,
even if it can be effected without inducing any deformation or
damage in the underlying material (see section 2.2),

An alternative to XRD is the use of neutrons (Ref 18). Since
neutrons can penetrate large distances through most materials,
and collimation techniques can allow depth profiling, most of
the drawbacks to the use of x-rays can be overcome. Unfortu-
nately, scattering intensities tend to be relatively low, so thatit is
very difficult to obtain sufficient data in a reasonable time from
small volumes, such as those of interest in coatings. Also, the
availability of neutron sources is limited. Consequently, the
method has not yet been extensively applied to coatings, al-
though work in this area is now under way (Ref 19).

2.2 Material Removal Methods

There are two basic methods involving material removal:
Either a hole can be drilled in the specimen (Ref 20, 21) or layers
can be removed by polishing (Ref 13). The latter technique is il-
lustrated in Fig. 2, which shows schematically how the new
stress state in the remaining part of the specimen, and hence the
strain gage reading, are related to the change in axial force and
bending moment induced by the removal. For both methods,
measurements are made via strain gages, which are usually at-
tached to the uncoated side of the substrate. Whichever method
isemployed, there are basically two sets of problems. First, there
are the physical problems of removing material in a controlled
manner. If the removal induces plastic deformation or damage,
then the assumption of a linear elastic change in stress state be-
comes invalid. Removal without damage is particularly difficult
for ceramic coatings. Furthermore, as removal is effected, and
indeed in many cases before any removal has occurred, the
specimen is likely to adopt significant curvature. This makes the
removal of a layer of uniform thickness physically very difficult.
Second, it is not a simple matter to analyze the strain gage data
so as to obtain the initial stress distribution. Numerical methods
generally are necessary. Nevertheless, the method can appar-
ently produce convincing results in some cases (Ref 13).

2.3 Curvature Methods

Probably the most informative method of residual stress
evaluation, at least for thermally sprayed coatings, involves
measuring the curvature of the substrate/deposit couple. Curva-
ture can be measured by a variety of contacting and noncontact-
ing techniques. In general, curvatures down to about 0.1 m~' (10
m radius) are easy to measure, whereas much lower values re-
quire care and specialized equipment. However, while curva-
tures are often readily measured, it is a more complex task to
interpret such data in terms of stress state. This is partly because,
while the curvature adopted by a system with a given stress state
is unique and predictable, a given curvature does not correspond
to a unique stress state. However, it is possible to infer a stress
distribution from a curvature, provided certain boundary condi-
tions are assumed.
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Fig. 1 Schematic of the XRD technique for measurement of residual
stresses

Biaxial strain gage

/

h-aAh |

Fig.2 Schematic of the strain gage technique for investigation of re-
sidual stress, based on layer removal

2.3.1 Force and Moment Balances

Consider a pair of plates bonded together with a misfit strain
Ag in the x-direction (Fig. 3) (Ref 22). The resultant stress distri-
bution, 6,(y), and curvature, K, can be obtained from simple
beam bending theory. First, the misfit strain is removed by the
application of two equal and opposite forces (—P and P). When
the two plates are joined, this results in an unbalanced moment,
M. Balancing this moment generates curvature of the composite
plate. The moment is given by:

M=P[h;HJ (Eq2)

where h and H are the thicknesses of the deposit and substrate,
respectively.
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Fig. 3 Schematic of the generation of curvature in a flat bimaterial
plate as a result of the imposition of a uniform, linear misfit strain, Ae.
The distributions of stress and strain shown were calculated, using Eq
12 and 13, for H=h, Eg=100 GPa, Eg/Eq=0.1, and Ae = 105,
Source: Ref 22

Now, the curvature of a beam, k (equal to the through-thick-
ness gradient of strain), can be expressed as the bending moment
divided by the beam stiffness, X:

K== (Eq3)

s0 that P can be expressed as:

22K

P:
h+H

(Eq4)

The beam stiffness of a prismatic composite beam is given by:

-8 2
z:ajh E(y)y2 dy,=bEgh K ns+e
H-b 3

H? 5482
+bESHT+H +6 (Eq5)

where b is the specimen width, E is the Young’s modulus, and 8
is the distance from the neutral axis (y. = 0) to the interface (y =
0). The value of 6 is given by:

5 W E,- H2E, ]
" 2hE,+HE) ®at)

The magnitude of P is readily found from a strain compatibil-
ity condition. The misfit strain can be expressed as the sum of the
strains resulting from application of the P forces:

404—Volume 5(4) December 1996

P P (hEdHEs
Ae—es—ed=HbEs+thd. _Ask_—hEd*“HEs)

(Eq7)

P
‘b

Combination of this with Eq 4 to 6 leads to a general expression
for the curvature arising from the imposition of a uniform misfit
strain, Ag, such as would arise during a change in temperature
(Ae = AoAT):

6E,E (h+H)h HAe
K=
2 14 3 2 752 3 2 154
Eih*+4EJE P H+6E E " H*+AE,E hH>+E* H

(Eq?)

It may be noted that, for a given deposit/substrate thickness ra-
tio, h/H, the curvature is inversely proportional to the substrate
thickness, H. This scale effect is very important in practical
terms, since relatively thin substrates are essential if curvatures
sufficiently large for accurate measurement are to be generated.

2.3.2 Biaxial Stresses and Bifurcation

Equation 8 should be valid provided the original imposed
misfit strain is uniform (no through-thickness gradient) and the
system remains elastic while the curvature is adopted. A modifi-
cation arises, however, on consideration of in-plane stresses
other than those in the x-direction. For an isotropic in-piane
stress state, there is effectively another stress equal to 6, in a di-
rection at right angles to it (z-direction); this induces a Poisson
strain in the x-direction. Assuming isotropic stiffness and negli-
gible through-thickness stress (0, = 0), the net strain in the x-di-
rection can be written:

g E= cx—v(oy +0)= o (l1-v)
so that the relation between stress and strain in the x-direction
can be expressed as:

(4] E
(1-v)

E (Eq9)

~Z
€
X

This modified form of the Young’s modulus, ', is usually appli-
cable in expressions referring to substrate/coating systems hav-
ing an equal biaxial stress state.

A further point related to biaxial stresses concerns the possi-
bility of the multidirectional curvatures leading to mechanical
instability. Under an equal biaxial stress state, an initially plane
surface will tend to become convex or concave, with a curvature
that should be equal in all directions (i.e., a spherical surface).
However, high curvatures cannot be simultaneously accommo-
dated in all in-plane directions. On increasing the curvature suf-
ficiently, a bifurcation point will be reached, at which the
curvature increases sharply in one plane and decreases sharply
in the plane normal to this (i.e., the shape becomes ellipsoidal
and approaches that of a cylinder). Once a specimen has bifur-
cated, it is difficult to reliably relate a measured curvature to an
internal stress distribution.

In general, it is a complex problem to predict the curvature at
the bifurcation point for a substrate/deposit system under resid-
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ual stress. However, the case of a thin film on a thick, rectangular
substrate (with a uniform stress in the film) has been analyzed
(Ref 23). The critical curvature depends on the elastic constants,
deposit/substrate thickness ratio (h/H), substrate thick-
ness/length ratio (H/L), substrate width/length ratio (b/L), and
substrate length (L). The magnitude of the curvature at the bifur-
cation point is given by (Ref 23):

Bl et )

(Eq 10)

12

in which I is the ratio of the shear moduli (G¢/G,) and yis a di-
mensionless constant evaluated from:

R

2

e o) f ]

where Wy is (1 + Vg)/(1 — vg) and g is (1 + vy)/(1 — v,). Behav-
tor predicted by Eq 10 is shown in Fig. 4. The critical curvature
reduces as the substrate length is increased and as the
width/length ratio increases. It is relatively insensitive to the
elastic properties and to the deposit/substrate thickness ratio. It
can be seen from the plot that there will be little or no danger of
a bifurcation instability (i.e., kg > ~10 m)ifa long (L ~ 100
mm), fairly narrow (b/L < ~0.2) strip specimen is used. This is
convenient, since such specimens are well suited to accurate
measurement of curvature along the length of the strip.

2.3.3 Thick and Thin Coatings

A simplified form of Eq 8 results when the coating is much
thinner than the substrate (h << H). Since the stress in the sub-
strate then tends to become negligible, and that in the deposit
will vary little as a result of curvature adoption, the misfit strain
can be converted to a deposit stress, 64 (=E4Ag), so that the equa-
tion reduces to the form:

60, (1-v)h
d s
K=——-—7— (Eq1D)
E H

which is usually known as Stoney’s equation and is commonly
used to relate stress to curvature for thin coatings.

When the condition h << H does not apply, then stresses and
stress gradients are often significant in both constituents. Stress
distributions are readily found for the simple misfit strain case
outlined previously, from the values of P and K, using these ex-
pressions:

| =
'y

(Eq 12a)

(o)

4 +E  x(h—0)
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Fig.4 Predicted dependence on width/length ratio of the critical cur-
vature at a bifurcation instability for a residually stressed thin film on a
substrate, according to Eq 10

-P
Oy =H_EdK8 (Eq 12b)
y=0
P
G, =b—h—ES x(h + 8) (Eq13a)
y=-H
-P
o, =b—h—ESK5 (Eq13b)
y=0

The stress distributions shown in Fig. 3 were obtained using
these equations. It can be seen that the adoption of curvature can
effect substantial changes in stress levels and that high through-
thickness gradients can result. It may be noted from Eq 12 and
13 that (for a given value of h/H), since P is proportional to H
and xis inversely proportional to H, the stresses aty = —H, 0, and
h do not depend on H; that is, the stress distribution is inde-
pendent of scale.

Curvature values before (k) and after (x4 and x;) debonding
are related to the distributions of residual stress relaxed on de-
bonding by (Ref 24):

s =2Zd(Kd—Kc)+2):s(KS—KC)
d bh(h+ H)

+Ey(x, - K.)y, Eq14)

o =22d(Kd—Kc)+ZZS(KS—KC)
$ bh(h+H)

+E(x, - K )y, (Eql5)

where 24 and X are beam stiffnesses and y4 and y, are distances
from the respective neutral axes for deposit and substrate, re-
spectively. These distributions are always linear in each con-
stituent. The equations are of general validity and the approach
represents a potentially powerful method for experimental in-
vestigation of residual stresses. However, its accuracy tends to
be poor for thin coatings on thick substrates (h/H << 1), since
when X >> ¥ the predicted stress distribution is sensitive to ob-
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served values of (ks — K¢), which will be small and hence diffi-
cult to measure accurately.

2.3.4 Monitoring of Curvature History

The method becomes a much more powerful one when
curvatures are measured continuously during deposition.
There is then scope for monitoring (and modeling) both
changes in through-thickness stress gradients and the pro-
gression of inelastic processes (stress relaxation). The first
description of such a continuous measurement procedure
during thermal spraying was given by Kuroda et al. (Ref 25,
26). Using lightly contacting knife edges, they were able to
record the changing curvature, K, during air plasma spraying.
Stoney’s equation (Eq 11) was used to measure the quenching
stress (see section 3.1) for several systems.

The curvature monitoring technique was then further devel-
oped by Gill and Clyne (Ref 7, 27-29), who made two advances.
First, a noncontacting method of curvature measurement was
employed, involving simple video recording, eliminating con-
cern about interference with free bending of the specimen and
allowing study of a wide range of substrate temperatures. Sec-
ond, a numerical process model was developed (Ref 15, 27, 29-
31) that allowed the curvature history to be predicted from
thermomechanical boundary conditions and material property
data (including the quenching stress; see section 3.1). Compari-
son between measured and modeled curvature ( and tempera-
ture) histories provides a comprehensive method of model
validation and investigation of stress generation mechanisms.
Various second-order effects, such as creep of titanium sub-
strates during deposition (Ref 32), have been successfully incor-
porated into the model. (An obvious point to note is that, while
validation is best carried out with a thin substrate so that curva-
ture changes during the process are relatively large, the model
will then be applicable to thick substrate cases in which changes
of curvature may be negligible.)

1000 ———— 71— 71 " T "1
F —O=— Al (APS)
—{3—Ni1 (APS)
H Ni(VPS)
v ——Mo (APS)
A Mo (VPS)
100 |- ——N1-20%Cr (APS) 4
L v  Ni1-20%Cr (VPS)

—~—AlO, (APS)

Quenching stress (MPa)

(¢] 0.2 0.4 06 0.8 1
Homologous temperature

Fig. 5 Experimental quenching stresses for plasma spraying in air
(APS) or in vacuum (VPS). The values are plotted against the ratio of
the specimen temperature to the melting temperature of the deposit.
The data were obtained from specimen curvature measurements during
spraying. Source: Ref 37
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3. Origin of Residual Stresses

Residual stresses in sprayed coatings arise from two main
sources. First, there are the “intrinsic,” “deposition,” or
“quenching” stresses, which are generated as the incoming
splats form and cool to the current specimen temperature; sec-
ond, differential thermal contraction stresses can arise as the
substrate and coating subsequently change temperature to-
gether. Misfit strains rather similar to those from differential
thermal contraction can arise after deposition as a result of phase
changes, structural relaxation, or plastic flow—which can occur
in the substrate and/or deposit. Finally, the effects of through-
thickness thermal gradients are worth noting. Although a linear
thermal gradient in a monolithic specimen generates curvature
but no stresses, stresses will arise if the gradient is nonlinear or
if there are through-thickness variations in thermal expansivity.
In the latter case, residual stresses may result if these transient
stresses generate inelastic effects such as plastic flow.

3.1 Quenching Stress

The intrinsic stress, often termed the quenching stress (Ref
33-36) for thermal spray processing, arises from the hindered
contraction of the individual splats as they cool from the melting
temperature to the temperature of the underlying material. Al-
though the associated misfit strains are often large (since speci-
men temperatures during spraying are usually much lower than
the melting temperature of the coating), quenching stress values
are in many cases relatively low (<100 MPa). Experimental data
are shown in Fig. 5. It can be seen that there are no significant
differences between the data for plasma spraying in air or in vac-
uum. For other thermal spray processes, such as the high-veloc-
ity oxyfuel process, values may be slightly different as aresult of
different impact conditions, intersplat bond strength, and so on.

Typical maximum theoretical values for the quenching stress
[~E4 04 (Tng - Ts)] are on the order of 1 GPa. The reason for
most experimental values being low relative to this is that vari-
ous stress-relaxation mechanisms can operate while the quench-
ing process is taking place. For example, interfacial sliding can
occur, while many ceramic materials undergo extensive mi-
crocracking and metallic deposits are prone to plastic yielding or
creep. This explains why, depending on the strength of the met-
al, reductions in quenching stress occur on moving to relatively
high temperatures. (Also, of course, the misfit strain tends to
zero as the homologous temperature tends to unity.) At lower
temperatures, all materials tend to show gradual increases with
temperature, which is attributed to improvements in intersplat
bonding. Microcracking is common with many ceramics, lead-
ing to very low quenching stress values. It has been confirmed
experimentally (Ref 36) that the substrate material has little or
no effect on quenching stress values.

3.2 Differential Thermal Contraction

Stresses arising from differential thermal contraction should
be readily obtainable from the thermal expansivities of deposit
and substrate, provided the system remains elastic. Some exam-
ple predictions are presented in Fig. 6. This shows peak stress
levels in the deposit as a function of the misfit strain; this is given
by the product of the expansivity mismatch (=1O'5 K in this
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case, which is a value typical of many systems) and the tempera-
ture drop. These data were obtained from Eq 6 to 8 and 12. Sev-
eral features are apparent. First, stress levels can be high (~100
MPa) even for moderate temperature changes (~100 K). (In
practice, large stresses may stimulate inelastic stress-relaxation
processes; see section 3.3.) Coating stresses will tend to be
higher when itis thin (4/H = 0.1), but it can be seen that the peak
stress is not much lower for the equal thickness case (although
the average stress level may well be considerably less). As ex-
pected, coating stresses are reduced when it is less stiff (E4/E =
0.1). It can be seen in Fig. 6, however, that this reduction is not
in proportion to the drop in stiffness. This is clear on examining
the E; = 10 GPa case, in which all stresses scale with the reduc-
tion, since the drop in stiffness applies to both constituents.

Itis of interest to note the curvature changes generated by dif-
ferential thermal contraction. Some predictions are shown in
Fig. 7 for various material combinations and dimensions. These
plots were obtained from Eq 8 using the property data in Table 1.
For the reference case (1 mm of alumina on a 1 mm steel sub-
strate), even moderate temperature changes (~100 K) lead to
quite substantial curvatures (>0.1 m_l), but it can be seen that the

Table1 Thermophysical properties

——

curvatures would be much lower for a thicker {10 mm) substrate.
Use of a titanium substrate (lower o. mismatch) or a ZrO» deposit
(lower stiffness) would also give reduced curvatures, as would a
reduced coating thickness.

A further practical point is that account should be taken of the
variations in thermal expansivities with temperature when mak-
ing these calculations. The misfit strain on cooling from T to T,
is given by:

Tl
ae=[ " (@ - o (T)ar (Eq16)
T

2

Since many expansivities change (usually increase) signifi-
cantly as the temperature is raised, large errors in the misfit
strain can arise if the values are taken as constant.

3.3 Inelastic Processes

In some cases, stress development in the substrate and the de-
posit takes place elastically and can be treated according to the
principles outlined in sections 2.3, 3.1, and 3.2. On this basis, the

Properties
Young’s Thermal Thermal
Density modulus Poisson expansivity conductivity
Material (p), Mg/m3 (E), GPa(a) ratio (V) (o), pe K1 (K), W/m-K(a)
Substrates
Titanium 45 110 0.36 9 10
Mild steel 79 200 0.33 12 60
Aluminum 27 70 0.33 24 200
Tungsten 19.1 400 03 4 170
Nickel 8.9 210 03 13 90
Deposits
Alumina 38 50 0.23 8 25
Zirconia 56 10 02 8 15

(a) Young’s modulus and thermal conductivity values for sprayed coatings are sensitive to microstructure and hence to the spraying conditions; the values shown are

typical experimental data.
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Fig. 6 Predicted peak values of the (compressive) stress in the de-
posit, arising from differential thermal contraction, as a function of the
fall in temperature for several different cases
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Fig.7 Predicted curvature (with the free surface of the substrate con-
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final stress distribution (and specimen curvature) can be pre-
dicted from the (experimentally determined) value of the
quenching stress and the temperature change on cooling using Eq 6
to 8, 11, 12, and 16, preferably employing a measured deposit stiff-
ness. This calculation should be fairly reliable, provided that there
is a single uniform misfit strain, A, between the relaxed (stress-
free) in-plane dimensions of substrate and deposit. This in turn re-
quires that (1) the temperature and curvature of the specimen do not
change appreciably during deposition (the latter requiring a thick
substrate and/or a small quenching stress) and (2) no inelastic proc-
esses, such as plastic flow, creep, or microcracking, occur during
deposition or subsequent cooling.

In practice, such inelastic processes are by no means uncom-
mon. Furthermore, they often occur to varying degrees at differ-
ent depths, as a result of variations in stress level and
temperature. This complication, together with the fact that tem-
perature and curvature often do change significantly during
deposition, indicates that accurate modeling of stress develop-
ment usually requires numerical treatment, with the stress and
temperature being monitored at a series of discrete depths and
times. The misfit strain, Ae, thus becomes a time-dependent
function of depth. Provided that the inelastic response charac-
teristics (e.g., creep rate parameters) of substrate and deposit are
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Fig.8 Predicted residual stress distributions at room temperature af-
ter spraying of a 1 mm thick coating of B4C onto titanium alloy sub-
strates of thickness 2 mm (a) and 20 mm (b). A significant degree of
creep has occurred in the substrate (leading to a nonlinear stress distri-
bution) during spraying for the thin substrate, but not for the thick one.
Source: Ref 32
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known, then the effect of local inelastic processes can readily be
incorporated into such a model, since they induce changes in the
local value of Ae which can be calculated. Furthermore, compli-
cations such as local property changes accompanying inelastic
events—for example, a reduction in stiffness associated with
microcracking—can also be taken into account. It has been
shown (Ref 7, 29, 30, 38) that reliable predictions can be ob-
tained without incorporating either lateral heat flow or through-
thickness stresses, so that a simple one-dimensional
finite-difference or finite-element approach is satisfactory. This
allows rapid recalculation of stress and temperature distribu-
tions and associated parameters such as curvature and strain en-
ergy release rates (see section 4.1), which greatly facilitates
procedures such as curvature history comparisons.

An example of the result of such a computation is presented
in Fig. 8, which shows final residual stress distributions for
deposition of boron carbide onto thin or thick titanium alloy sub-
strates (Ref 32). In this system, the most likely form of inelastic
behavior is creep in the substrate. Stress levels within the thin
substrate became high enough during spraying for significant
creep to occur, whereas in the thick substrate they did not. This
is apparent from the nonlinear substrate stress distribution in
Fig. 8(a). (It may be noted that nonlinear stress profiles in the
substrate arise only from inelastic processes, whereas in the de-
posit they can also be caused by variations in temperature or cur-
vature during deposition.) Experimental validation of the
occurrence of substrate creep for the thin substrate was provided
by the improved agreement observed (Ref 32) between experi-
mental and predicted curvature histories when creep was incor-
porated into the model.

3.4 Through-Thickness Thermal Gradients

An important feature of most thermal spraying processes is
the transient injection of relatively high heat fluxes into the sub-
strate. These cause high thermal gradients, which in turn gener-
ate differential thermal expansion at different depths and
changes to the local misfit strains. Stresses and bending mo-
ments will therefore arise when the specimen is exposed to a
high heat flux, although these are expected to disappear when
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Fig. 9 Predicted curvature (with the heated surface convex) as a
function of the incident heat flux for five different substrates
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the thermal gradients decay, unless the stresses have in the
meantime stimulated inelastic effects.

The simplest case to treat is a steady-state heat flow through
a monolithic material (the substrate), giving rise to a uniform
thermal gradient. This situation actually generates no stresses,
since the resulting linear strain gradient will be entirely relaxed
by the adoption of a corresponding curvature (assuming the
specimen to be unconstrained). Itis, however, useful to calculate
these curvatures, since they indicate what stresses would be set
up if the substrate were constrained to remain flat and also show
whether curvature arising from transient heat-flow effects are
likely to be significant compared with those from other sources.
In this case, the curvature is given by:

o0

X (Eq17)

X

where Q is the incident heat flux (W/m2) and K is the thermal
conductivity (W/m - K). Predicted curvatures obtained from
this equation, using property data in Table 1, are shown in Fig. 9
as a function of incident heat flux for five different substrates
(with no coatings). (Values of Q range up to 10’ W/m2, which
could be taken as a practical upper limit for normal operation;
this is based on the maximum thermal power reaching a sub-
strate being about 10 kW and the minimum substrate surface
area of heat dissipation being about 1000 mm?). It can be seen
from Fig. 9 that quite large curvatures (~1 m~!) might arise when
the heat flux is high, although there is a strong sensitivity to the
substrate material. Curvatures are high for titanium, which has a
combination of low conductivity and relatively high expansiv-
ity, whereas for tungsten the reverse is the case and curvatures
are always low.

4. Effect of Residual Stresses on
Adhesion

In order to approach this topic systematically, it is essential to
use a meaningful measure of the coating adhesion. Although a
number of empirical tests have evolved to characterize spalla-
tion resistance (Ref 39), most of these do not measure a well-de-
fined parameter of fundamental significance. The aim should be
to evaluate the critical strain energy release rate for the interface,
G or the closely related critical interfacial stress-intensity fac-
tor, K. Recent reviews (Ref 40-46) cover factors to be consid-
ered when examining these for interfaces between dissimilar
materials.

4.1 Strain Energy Release Rates during Debonding

Numerous studies (Ref 46-50) have focused on the relation-
ship between residual stress distributions and corresponding
strain energy release rates when the interface becomes debon-
ded. In the simplest case of a thin coating with a uniform misfit
strain, the strain energy release rate is simply the stored elastic
strain energy per unit interfacial area, given by:

o2h G2H
G=r+
2E, " 2E

N
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where 64 and G are the (uniform) stresses in the deposit and the
substrate, respectively. Using the force balance condition relat-
ing these two stresses, this can be written as:

ogh{l h\(E o3k

=ﬁ; —_—

G -
2E,

H || E, Eq18)
This can be regarded as a driving force for spontaneous de-
bonding of the coating. It rises linearly with coating thickness.
Note that the presence of other in-plane stresses has been ne-
glected. In practice, the initial stress in the coating is often equal
biaxial; in this case, both in-plane stresses will be able to relax
once the film is completely debonded. However, only the stress
parallel to the crack propagation direction can be relaxed as the
crack tip passes the region concerned, since the other in-plane
stress is still constrained. It is doubtful whether the energy re-
leased by subsequent relaxation of this stress can be efficiently
fed back to the crack tip so that it can contribute to the strain en-
ergy release rate. However, it should be noted that the presence
of the other in-plane stress will affect the value of G via its influ-
ence on the effective elastic modulus.
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Equation 18 can be used to estimate the critical strain energy
release rate of the interface, G,., which is sometimes termed the
interfacial fracture energy or the interfacial toughness. Provided
that the stress in the coating is known at the point when de-
bonding spontaneously occurs, then G;. can be taken as equal to
the value of G at this point. This takes no account of any barrier
to the initiation of an interfacial crack and simply considers the
energy balance during steady-state advance of a fully developed
interfacial crack. Initiation of an interfacial crack at a specimen
edge is considered in section 4.4.

For thermally sprayed coatings, a calculation based on a sin-
gle deposit stress may not be acceptable for estimation of the in-
terfacial fracture energy. Stress distributions are likely to be
more complex, and it may also be inaccurate to simply calculate
the total stored elastic strain energy and assume that all of this is
released. In fact, only those stresses that can be relaxed by exten-
sion/contraction or bending of the coating and substrate when
they are separated can contribute 10 G. Such stresses always
form a linear profile within each constituent. To illustrate this,
plots are shown in Fig. 10(a) of stress distributions in a thermally
sprayed system before and after debonding of the coating. These
were obtained numerically (Ref 51), using a finite-difference
model of the spraying process. It can be seen that the stresses af-
ter debonding are not zero, although (as in most cases) they are
fairly small.

The changes in residual stress can be converted to strain en-
ergy release rates and hence to interfacial fracture energies for
cases where spontaneous debonding occurs. In Fig. 10(b), plots
are shown of the changes that occurred for the example given. A
comparison is shown between predictions from the numerical
model and data obtained experimentally by measurement of
specimen curvatures and use of Eq 14 and 15. It can be seen that
there is good agreement between measured and predicted stress
distributions.

The value of G can be calculated from the stress distribution
at any point during spraying or subsequent cooling. Figure 11
shows variations in G for six alumina coatings on steel sub-
strates, corresponding to different spraying temperatures and/or
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Fig. 11 Predicted vanations in strain energy release rate for inter-
facial debonding of several alumina coatings on steel substrates during
spraying and cooling. For cases when debonding took place, it oc-
curred when G reached a critical value of approximately 400 to 500
J/m?. Source: Ref 52
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coating thicknesses (Ref 52). Four of these coatings debonded
spontaneously before cooling to room temperature was com-
plete, while the other two did not. It can be seen from the plot
that each of the debonding events occurred when G reached the
range of 400 to 500 J/m2, while for the other two coatings this
range was never attained. Since the substrate preparation proce-
dure was the same in each case, these results are apparently con-
sistent with the debonding event simply requiring the attainment
of a critical value of G, which could be taken as G;.. Although
this is an attractively simple rationale, it should be noted that the
picture may be complicated by variations in mode mixity (sec-
tion 4.2) and by crack initiation barriers (section 4.4).

4.2 Effect of Mode Mixity

Analysis of interfacial debonding is complicated by the fact
that the stress field at the crack tip may not represent conditions
of pure crack opening (mode I). This is because, in contrast to
crack propagation in a homogeneous medium, the crack is con-
fined to a particular geometric path. Depending on the tough-
ness of the interface and of the two media on either side, crack
propagation may continue within the interface, rather than seek-
ing a mode I path in some other direction, even though the inter-
facial path is heavily “mixed mode” (i.e., has a substantial shear
component at the crack tip). This topic has received extensive
study (Ref 24, 42-44, 53-58) in recent years. The most common
method of characterizing mode mixity is to use the so-called
phase angle, y, which is related to the crack-tip stress-intensity
factors for mode I and mode II loading by:

KII
X (Eq19)

I

y=tan”'

so that Wy = 0° represents pure opening conditions and y = 90°
represents pure shear.

A major concern about mode mixity is that it could affect the
fracture energy of the interface. The general expectation is that
G, will rise as a shear component is introduced, since this will
encourage dissipation of energy at and immediately behind the
crack tip as a result of frictional rubbing between asperities.
Plastic flow ahead of the crack tip may also be promoted in me-
tallic systems. Furthermore, it is expected that roughening of the
substrate surface will give rise to a more substantial increase in
interfacial toughness if there is a large shear component to the
crack-tip driving force.

If the dependence of Gj. on v is significant, then interfacial
fracture energy values should always be quoted together with
the corresponding phase angle, since y values vary widely be-
tween different test procedures for measurement of G;, and are
also affected by the presence of residual stresses. (Note that re-
sidual stress states that are relaxed by the substrate and deposit
bending away from each other give rise to mode I loading at the
crack tip, while those relaxed by the two constituents changing
their length generate mode ITloading.) Experimental data for G
as a function of y are in short supply. Those available (Ref 59,
60) suggest that, while there is a general tendency for G; to rise
withincreasing y, the rise is much more significant when at least
one of the constituents is metallic, and this may be related to the
ease with which plastic flow can be promoted. This is an area re-
quiring further experimental study.
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4.3 Debonding under Combined Residual and
Applied Stresses

In many cases, debonding occurs under the combined influ-
ence of residual stresses and those generated by the application
of an external mechanical load. For example, there are both
practical situations and testing procedures for measurement of
interfacial toughness that involve the application of a bending
moment to a coated substrate. The combined effect of such a mo-
ment and a set of residual stresses has been analyzed by
Charalambides et al. (Ref 55, 61) and by Howard et al. (Ref 24).
The stresses from the bending moment will superimpose on the
residual stresses. However, the net strain energy release rate on
debonding is not equal to the sum of the G values corresponding
to the two sets of stresses in isolation. Furthermore, while any set
of residual stresses, in isolation, can only promote (and not in-
hibit) debonding,* it is possible for residual stresses to interact
with those from an applied load so that G would be lower than in
their absence.

It can be shown (Ref 24) that the total strain energy release
rate is given by:

P2(dC\ P (du

=% |w | m|@a |
where P is the applied load, b is the specimen width, C is the
specimen compliance, i, is the residual displacement on unload-
ing, and G, is the release rate for relaxation of the residual
stresses in isolation. The first term in Eq 20 is the standard ex-
pression for a specimen without residual stresses, Gy, while the
second represents the interaction between applied and residual
stresses, Gp. While the parameters in Eq 20 needed for evalu-

ation of G, and Gy, can be found from a load-displacement plot,
G can also be found via other measurements, using (Ref 24):

P2s2(1 1\ Ps
W[ ]‘zb("s“‘c)*Gr

(Eq20)

5. - z—c (Eq21)

where s is the distance between inner and outer loading points in
the four-point bend test. The testing geometry is shown in Fig.
12.

Experimental data relating to debonding of thick, residually
stressed coatings under applied load are shown in Fig. 13. These
plots show how the three terms—Gj,, Gy, and G,—vary with ap-
plied load during delamination testing of two ceramic-coated ti-
tanium specimens. For the boron carbide coating (Fig. 13a), the
residual stresses, shown in Fig. 10(a), were relatively high. In
the case of the zirconia coating (Fig. 13b), however, the residual
stresses were quite low, primarily as a result of the extensive mi-
crocracking that occurs and the consequently low coating stiff-
ness. These differences are reflected in the higher value of G, for
the boron carbide coating. Furthermore, a consequence of the
different stress distributions for the two cases is that Gy, is posi-

* Although this is true from the energy release point of view, there are
at least two ways in which residual stresses could inhibit debonding.
First, the phase angle could be changed so as to require higher energies
for debonding; second, formation of through-thickness cracks in the
coating (which can help to initiate debonding) could be inhibited by
(compressive) residual stresses.
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tive in one case and negative in the other. The measured inter-
facial fracture energies, however, are similar in the two cases,
which is consistent with the fact that the substrates were pre-
pared in the same way and spraying conditions were broadly

!
]

T

PR CPR :

P/2 P/2

Fig.12 Experimental arrangement for the four-point bend delamina-
tion test
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having the residual stress distribution shown in Fig. 10(a). From the
load at which interfacial crack propagation occurred, P, the inter-
facial fracture energy, Gjc, can be obtained. (b) Corresponding plots

for a specimen of ZrOj-coated titanium. Source: Ref 51
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similar. It can be seen that neglect of the effect of residual
stresses, or even just omission of the interaction term Gy, would
have led to significant errors for these systems. This is often ex-
pected to be the case.

4.4 Initiation of Debonding and Effect of Crack
Length

It has long been recognized that, since the in-plane stress re-
sponsible for driving interfacial crack advance from a specimen
edge must be relaxed close to the lateral free surface, the strain
energy release rate will tend to be lower during the initial stages
of the propagation of an edge crack. Several studies (Ref 62-68)
have focused on stress distributions near the intersection of an
interface with a free surface, and the consequences for crack in-
itiation and propagation. For example, Evans et al. (Ref 63) and
Akisanya and Fleck (Ref 64) have presented finite-element
modeling (FEM) data for residually stressed thin films, showing
how G varies with the length of an interfacial crack.

Furthermore, an analytical model has recently been pre-
sented (Ref 22) that allows an estimate to be made of the reduc-
tion in crack driving force near the specimen edge (or a
through-thickness crack) for a coating on a massive substrate.
By making a number of simplifying approximations, which
were justified by comparison with FEM data, the following ex-
pression was derived for the dependence of strain energy release
rate on the length, a, of a preexisting crack:

G(a) a 2 a a?
—==—] —}—|In
G, |hB hB| | K2 B?

where B is a dimensionless constant that can be evaluated from:

(Eq22)

B=10@+D (Eq23)

in which o is the Dundurs parameter, given by:
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Fig. 14 Experimental data for the apparent interfacial toughness,
G;, as a function of the length of artificial precrack for sprayed coat-
ings of alumina on steel, obtained by monitoring the temperatures at
which they underwent spontaneous debonding during postdeposition
cooling. The predicted plot was obtained solely from effective stiffness
values: [E/(1 — V)]gtee1 ~ 290 GPa and [EA1 - v)]aL 0, ~ 90 GPa (in
the as-sprayed state), leading to 0 ~ —0.5 (Eq 24) and B ~ 3.2 (Eq 23),
which was then employed in Eq 22. Source: Ref 69
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Use of Eq 22 to 24 therefore allows prediction of the effect of
precrack length on the strain energy release rate for interfacial
debonding initiated at an edge. However, it refers only to the
case of a uniform misfit strain and a relatively thin deposit (mas-
sive substrate). Through-thickness stress gradients and/or a
thick deposit would lead to curvature changes on debonding,
which might complicate the issue.

Experimental data for apparent interfacial toughness as a
function of edge precrack length are currently in very short sup-
ply. A study of this type was recently undertaken by Itoh and
Clyne (Ref 69), although this was based on thermally sprayed
coatings in which stress gradients were high and the deposits
were relatively thick (H ~ 3 mm, & ~ 1 mm). Precracks were ob-
tained by masking during grit blasting of the substrate, leaving
highly polished regions in which proper interfacial bonding with
the coating was never established. Interfacial toughnesses were
inferred by measuring the temperatures at which alumina coat-
ings debonded spontaneously from steel substrates during post-
deposition cooling. Numerical process modeling (Ref 7, 30, 31)
was used to obtain the stress distributions and hence the strain
energy release rates. A comparison is shown in Fig. 14 between
the apparent toughnesses measured in this way and the predic-
tion given by the reciprocal of Eq 22. (A low crack driving force,
G(a), predicted for a short crack length, a, means that the meas-
ured toughness, Gjca), will be large.) The predicted curve
should obviously be capped at a crack size corresponding to the
size of the extraneous flaws present at the interface near the
edge. The data suggest that in this case flaws of (a/h) ~ 1/4 (i.e.,
a ~ 200 to 400 um) were present. In view of the rather rough
state of the edges of the specimens concerned, this is physically
plausible.

The agreement between prediction and experiment shown in
Fig. 14 is reasonable in view of the various approximations of
the analysis and the differences between the experimental situ-
ation and that assumed in the model. There is a particular con-
cern that the variations in mode mixity at debonding between
individual specimens may have affected these results, and it is
clear that further experimentation is necessary. Nevertheless,
this treatment serves to highlight the fact that initiation of the
spallation event can be quite strongly inhibited by such a reduc-
tion in driving force. In practice, it is probably common for coat-
ings to be used in service having residual stress distributions and
interfacial toughnesses such that steady-state propagation of an
interfacial crack, once initiated, would be energetically favored.

5. Case Histories

5.1 Edge Effects in Piston Crown and Piston Ring
Coatings

A simple example of the importance of edge effects on real
industrial coatings is given by the experience of New Sulzer
Diesel (NSD) during recent development activities to select pro-
tective coatings for application to marine diesel piston crowns
(Ref 70). The conditions experienced by coatings applied to
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such crowns are extremely harsh, with thermal cycling damage,
corrosion, and erosion all taking place simultaneously and
synergistically. It is very difficult to reproduce these conditions
in the laboratory, and coatings systems are normally tested in
situ on real components. However, it is not always feasible to
spray untested coatings over entire crowns, due to the excessive
cost. Hence, the approach used by NSD has been to insert
coated, 30 mm diam disks into matching recesses on the crown
(Fig. 15), thus allowing several candidate systems to be studied
in situ in a single engine test. Subsequent examination of the
coatings is also made easier using this approach.

The technique has facilitated the successful development of
piston crown coatings. However, the results must be interpreted
with care. One of the best performing coatings tested using the
disk method was a NiCr alloy that survived for approximately
3500 running hours without failure or significant corrosion/ero-
sion damage. The alloy was then used to coat an entire (760 mm
diam) piston crown; despite this earlier encouraging result,
damage was observed after 2100 h, and catastrophic failure oc-
curred after approximately 5000 h.

There are at least two possible explanations for this result. At
the edges of both disk and crown, the radial in-plane stress com-
ponent tends to zero, but this relaxation has greater conse-
quences for the disk than for the crown because of the former’s
higher perimeter length to surface area ratio. In addition, the test
disks contained several holes (necessary to allow them to be
gripped while being screwed into and out of their recesses), at
which the radial stresses must also decay to zero. The distance
over which the stresses build up to their far-field value depends
(Ref 64) on the residual stress state, the coating and substrate
elastic properties, and the coating and substrate thicknesses (see
section 4.4). However, if this decay distance is on the order of a
few millimeters, then the stresses over large areas of the test disk
would have been much lower than the stresses that were experi-
enced by the coating on the crown. A second possible reason is
simply that because of the greater surface area and edge perime-
ter length of the crown, there may have been a greater likelihood
of the presence of critically sized flaws.

This example illustrates the effect that the reduction in re-
sidual stress may have at the edge of a coated component. To
prolong lifetimes and increase reliability, this effect must be
recognized and taken into account when finalizing the com-
ponent design. This is illustrated by a further example, which
concerns the various geometries of molybdenum and molybde-
num-base self-fusing blend coatings sprayed by Goetze AG
onto internal combustion engine piston rings. In Fig. 5, it can be
seen that measured values of the quenching stress of molybde-
num vary from 20 to 30 MPa for APS to 40 to 60 MPa for VPS.
However, the former range is more applicable to the bulk of
commercial coatings, which are generally produced by atmos-
pheric processes such as APS or flame spraying. These values
are surprisingly low, given the high melting point of molybde-
num (2615 °C), but this can be at least partially explained by the
(often deliberate) high oxygen content of sprayed coatings. For-
mation of MoO» hardens the coating (Ref 71), but also reduces
its toughness and increases the likelihood of stress relief by mi-
crocracking and intersplat debonding. Residual stresses in mo-
lybdenum coatings arise mainly from differential thermal
effects caused by the low expansion coefficient (compared with
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a cast iron or steel substrate) of only approximately 5 x 109K~
!. The operational stress state is therefore sensitive to the differ-
ence between the substrate temperature during spraying and the
component service temperature (Ref 72). During operation the
coatings are also submitted to mechanical loads and influenced
by the oil and fuel mixture. However, it has been shown (Ref 73)
that the basic failure mechanisms of molybdenum coatings can
be understood from an analysis of the thermal effects alone.

Buran et al. (Ref 74) have described in detail the various ge-
ometries that are used to produce molybdenum-base coatings on
internal combustion engine piston rings. These can be divided
essentially into the two categories of full-face and inlaid coat-
ings (Fig. 16). Full-face coatings have the advantage of higher
coating breakout resistance (see below), while the inlaid design
permits a sharper peripheral edge, giving better control of blow-
by (leakage of pressurized gas past the piston ring). The use of a
particular design in a given application depends on the trade-off
between these properties. Some rings are mixed, using a full-
face coating on one side with an inlay on the other.

At the same operating temperature and away from the edges
of the ring, both types of coatings will be approximately in an
identical state of equal biaxial tension, with negligible through-
thickness stresses. If coating breakout were mainly initiated
away from the edges, there would be no difference in behavior
between the two designs. As mentioned earlier, however, a
strong influence is observed. The explanation for this can be un-
derstood from the schematic diagrams shown in Fig. 17. For
simplicity, only the important features of the coating stress state
are shown (stress singularities have been ignored) so that rela-
tive strain energy release rates can be estimated. It is clear that,
in the inlaid design, the wall next to the coating permits the in-
plane stresses to continue to the edge of the coating and that
stresses in the through-thickness direction are also generated,
while the full-face stress distribution will lead to a strain energy

30 mm diameter test discs

300 mm

Fig. 15 Schematic showing recessed test disks inserted on a piston
crown
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release rate for interfacial edge crack growth in line with Eq 22.
Thus, even though steady-state crack growth along the sub-
strate/deposit interface away from the edges has the same value
of strain energy release rate for both geometries, edge crack in-
itiation is much easier for the inlaid coating. This contributes to
its lower breakout resistance.

In practice, some of the worst effects are avoided by running
the wall/coating interface at an angle to the surface (Fig. 16).
This reduces the strain energy release rate for a given crack
length and also promotes a stronger bond between coating and
substrate, since the wall surface is better oriented with respect to
the spray direction. The edges of full-face coatings are also
chamfered, even though this increases blow-by, in order to re-
duce interfacial strain energy release rates.

5.2 Stability of Zirconia Thermal Barrier Coatings

Yttria-stabilized zirconia (YSZ) is widely used as a coating
in the aerospace industry to give thermal barrier protection to
surfaces exposed to high temperatures. Use in internal combus-
tion engines is also increasing (Ref 75). Its chief advantages are
its thermal stability, low thermal conductivity, and reasonably
high thermal expansion coefficient of 7 to 10 x 10° KL Be-
cause the coatings are relatively thick (at least ~300 pm is com-
monly applied) and are exposed to large thermal cycles, they
must be able to withstand high strains induced by differential
thermal expansion and thermal transients. A brief review of the
approaches that have been used to obtain a high spallation resis-
tance in YSZ thermal barrier coatings (TBCs) will serve to illus-
trate the various possibilities that are available to improve
coating stability in general.

First, the composition of YSZ is controlled to produce a
tough, spallation-resistant coating. The best results are obtained
from a 6 to 8 wt% YSZ, which gives a metastable supersaturated
tetragonal structure in the as-sprayed state (Ref 76). This struc-
ture has been termed “nontransformable” because of its good

full face

inlaid

2

Fig. 16 Schematic showing full-face and inlaid piston ring coatings
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stability against decomposition into the cubic and monoclinic
phases. It has also been observed that a reduction of silica impu-
rities increases coatings lifetimes (Ref 77). These improve-
ments, however, are specific to YSZ coatings. Of more general
significance is the observation that coating lifetimes can be im-
proved by increasing the porosity level— at least up to a certain
level, beyond which the coating loses its integrity and becomes
too friable. It is difficult to quantify coating porosity directly, but
measurements of coating density have shown this effect (Ref
79). Increasing the porosity reduces the Young’s modulus,
which in turn lowers residual stress levels. In reality, however,
the situation is more complicated because changes to the spray-
ing parameters that affect the porosity level also affect mi-
crocracking and intersplat debonding, and these two are more
effective at reducing the modulus than spherical porosity.
Strain-tolerant electron-beam physical vapor deposition YSZ
coatings are explicitly designed to make use of this effect
through the development of a columnar-grained microstructure

av. 6y in coating

x direction

av. oy in coating
R

i
x direction

z direction

o, along wall edge
in coating

Fig. 17 Schematic of stress distributions in full-face and inlaid pis-
ton ring coatings
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that permits a multitude of through-thickness segmentation
cracks. Within each segment the in-plane stresses go to zero at
the crack faces, and thus the available strain energy for sub-
strate/deposit interfacial crack growth is greatly reduced. There
is current interest in producing thermally sprayed ceramic coat-
ings that also exhibit controlled segmentation, because of the in-
crease in lifetime that can be obtained (Ref 80).

There are, of course, other reasons for encouraging porosity
and microcracking in TBCs, not least of which is that it leads to
a reduction in thermal conductivity. It is also possible that in-
creased toughnesses can result from crack blunting effects. It is
clear that the effects of porosity, cracking, and intersplat de-
bonding on coating lifetime are complex. They cannot be con-
sidered in isolation, but must be optimized with respect to each
other, the service conditions, and the probable coating failure
mechanisms. In thermally sprayed YSZ coatings, this optimiza-
tion process has led to the production of deposits with excep-
tional thermal shock resistance. Crack initiation, when it does
occur, is often connected with oxidation of the bond coat.

5.3 Function of Bond Coats and Interlayers

Yttria-stabilized zirconia TBCs and other ceramic deposits
are commonly sprayed with a bond coat. These are generally
about 100 pum thick and are composed of thermally sprayed
MCrAIY (where M can be nickel, cobalt, or iron, either singly or
in some combination), although for other applications and with
top coats other than zirconia, different metals or alloys can be
used.

Itis important for the bond coat to promote a stronger bond to
the top coat—in other words, to increase the interfacial tough-
ness. Data are available to confirm this effect. For example, Fig.
18 shows experimentally measured (Ref 81) toughnesses for
various interfaces, including some that might form if an alumina
oxidation barrier were introduced between the bond coat and the
top coat. Such data, in combination with calculated strain energy
release rates for debonding at the interfaces present during coat-
ing production and in service, will allow prediction of any spal-
lation failure, although a complete analysis would also cover
phase angle and crack initiation effects.

There is a widely held belief that, in addition to improving
adhesion, the bond coat reduces the in-plane stresses in the top
coat. In fact, such an effect can only be significant in the (admit-
tedly important) vicinity of an edge or through-thickness crack.
In most cases, the substrate has a significantly higher Young’s
modulus and is much thicker than either the bond or the top coat.
Thus, except in the vicinity of edges and through-thickness
cracks, strains (and hence stresses) in both the top coat and the
bond coat will be almost entirely determined by the strain im-
posed by the substrate. Despite this observation, examples exist
in the literature of attempts to control the average top coat
stresses by altering the properties of the bond coat—for exam-
ple, by applying a stiff bond coat (Ref 82).

In fact, assuming that the weakest interface of the system is
the bond coat/top coat interface (see Fig. 18), the desirable prop-
erties of the optimum bond coat system are very simple to de-
fine. To remove the stress singularity at the edge of this interface
requires a bond coat with exactly the same Young’s modulus,
Poisson’s ratio, and coefficient of thermal expansion (CTE) as
the top coat; that is, the bond coat should be of the same material
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as the top coat. (It should also be as thick as possible in order to
distance the bond coat/top coat interface from the singular stress
field originating at the substrate/bond coat interface.) This is, of
course, an impracticable and trivial solution. A second solution
is to completely decouple the coating from the substrate by hav-
ing a bond coat with an effective modulus of zero. This is the
idea behind the use of compliant interlayers, such as fiber metal
pads or mats, which allow the production of very thick ceramic
layers on metal substrates (Ref 83).

In reality, however, for most coatings a complex optimiza-
tion has to be performed in order to balance the requirements of
bond coat physical properties, and bond coat/substrate and bond
coat/top coat interfacial toughnesses. To help this task, a J-inte-
gral calculation, similar to that performed by Akisanya and
Fleck (Ref 64) for a single coating, could in principle be carried
out to determine the strain energy release rate and mode mixity
of a growing crack at the top coat/bond coat interface. This
would require knowledge of all the relevant loadings and physi-
cal properties of the system, plus measured values of interfacial
toughnesses for comparison. (See section 4.4 for a simpler
analysis without a bond coat.) Results from this type of calcula-
tion have apparently not yet been published in the literature. Lee
and Erdogan (Ref 84), however, have calculated the stress con-
centrations of TBC specimen edges submitted to a change in
temperature both with and without bond coats, as well as for
graded coatings (see below). As expected, their results show im-
portant reductions in stress intensity at the top coat/bond coat in-
terface when bond coats of intermediate Young’s modulus are
used.

Other factors also have to be taken into account during the
development of bond coats. A high bond coat/top coat interfacial
roughness is important because a larger surface area increases
the strain energy release rate needed to drive a crack along the
interface. It also ensures that opposing crack surfaces interfere
under mode II opening, effectively increasing the interfacial
toughness still further (see section 4.2). Indeed, it has been ob-
served that most cracks, once initiated, tend to grow, not along
the interface, but in the top coat, close to and parallel to the bond
coat/top coat interface (Ref 85). At high operating temperatures

200

NiCrAlY

NiCrAlY

w

100

ain energy release rate, Gz (Jm™)

zr0,
il

System and interface

Fig. 18 Experimental data for interfacial toughness of various inter-
faces within multilayer TBCs. The schematic above each bar indicates
the interface that was measured and the specimen geometry (subs. =
substrate). Source: Ref 81
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(>900 °C), NiCrAlY bond coats are also able to stress relax (Ref
86, 87) (see section 3.3), with beneficial effects on interfacial
toughness at high temperature, but leading to increased coating
edge stresses after cooling.

Finally, itis worth noting that, atleast for TBC YSZ-MCrAlY
systems, oxidation of the bond coat plays a central role in deter-
mining coating lifetime. Observation of interfacial delamination
in these systems shows that cracking usually initiates in the alu-
mina layer (Ref 88) that forms on the bond coat, and to grow fur-
ther it deflects into the YSZ (Ref 85). If only in-plane biaxial
stresses occurred in the coating and bond coat, there would be no
driving force for these cracks to initiate. However, the interface
is not smooth, and calculations show that microstresses with a
tensile opening component perpendicular to the interface will
occur at asperity tips in the oxide layer (Ref 85, 89).

In general, the presence of a bond coat cannot influence the
average stresses in the top coat, except in the vicinity of edges
and cracks. An exception to this relates to the use of graded
structures, or multiple layers with intermediate CTEs, for use in
situations where a thermal gradient exists across the coating.
Brink (Ref 90) describes a thick TBC designed by Caterpillar
Inc. for application to diesel engine piston crowns, where the
CTEs of the various interlayers have been selected specifically
to reduce the thermal mismatch strains produced by a given ther-
mal gradient. However, such measures often result in increased
oxidation rates. This is certainly a major problem with simply
grading the transition from bond coat to top coat, since a larger
surface area of bond coat is exposed to the oxidizing environ-
ment. In general, an oxidation barrier layer of some type is likely
to be necessary.

With the exception of TBCs, however, loads (both physical
and thermal) are usually applied to the same extent on all coating
and substrate components. The role of a graded or multilayered
structure is then to reduce stress concentrations on critical inter-
faces in the vicinity of edges and cracks. Indeed, Lee and Er-
dogan (Ref 84) have demonstrated that, by use of a fully graded
structure, interfacial edge stress singularities are completely re-
moved. This again takes no account of the probable degradation
of oxidation resistance that commonly accompanies such grad-
ing.

6. Summary and Conclusions

Development of thermally sprayed coatings for industrial ap-
plications has largely been carried out on an empirical basis. It
has long been appreciated that residual stresses in such coatings
can be highly significant in practical terms, but detailed mecha-
nistic links among spraying conditions, stress distributions, and
the mechanical stability of the coating have been lacking. How-
ever, there have been important advances over recent years in
understanding how residual stresses arise and the effects they
have on the mechanical stability of sprayed coatings. The key to
quantification lies in evaluation of the strain energy release rate
associated with interfacial debonding and comparison between
this and the critical value (toughness) of the interface. The ap-
proaches outlined in this paper show how current industrial de-
sign philosophies can be understood and rationalized in the light
of a fracture mechanics approach to coating failure. Techniques
for measurement and prediction of stress distributions and inter-
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facial toughness can form the foundations of a systematic ap-
proach to coating design that should be used increasingly in the
future.
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